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Abstract A high fidelity assessment of accumulative
damage of woven fabric composite structures subjected to
aggressive loadings is strongly reliant on the accurate
characterization of the inherent multi-scale microstructures
and the underlying deformation phenomena. Damage in
composite sandwich and joint structures is characterized by
the coexistence of discrete (delamination) and continuum
damage (matrix cracking and intralaminar damage). A
purely fracture mechanics-based or a purely continuum
damage mechanics-based tool alone cannot effectively
characterize the interaction between the discrete and con-
tinuum damage and their compounding effect that leads to
the final rupture. In this paper, a hybrid discrete and con-
tinuum damage model is developed and numerically
implemented within the LS-DYNA environment via a user-
defined material model. The continuum damage progres-
sion and its associated stiffness degradation are predicted
based on the constituent stress/strain and their associated
failure criteria while the discrete delamination damage is
captured via a cohesive interface model. A multi-scale
computational framework is established to bridge the
response and failure predictions at constituent, ply, and
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laminated composite level. The calculated constituent
stress and strain are used in a mechanism-driven failure
criterion to predict the failure mode, failure sequence, and
the synergistic interaction that leads to global stiffness
degradation and the final rupture. The use of the cohesive
interface model can capture the complicated delamination
zone without posing the self-similar crack growth condi-
tion. The unified depiction of the continuum and discrete
damage via the damage mechanics theory provides a
rational way to study the coupling effects between the in-
plane and the out-of-plane failure modes. The applicability
and accuracy of the damage models used in the hybrid
dynamic failure prediction tool are demonstrated via its
application to a circular plate and a composite hat stiffener
subjected to shock and low velocity impact loading. The
synergistic interaction between the continuum and discrete
damage is explored via its application to a sandwich beam
subjected to a low velocity impact.

Introduction

Fiber-reinforced polymer (FRP) composites have been
increasingly used in the current and next generation of
naval ships (e.g., composite hull, composite topside,
composite mast, composite sail, hybrid hull, etc.). The most
compelling reasons to use composite materials in naval
ship components are stealth, lower total ownership cost,
and weight reduction. The composite materials have played
key roles in reducing the magnetic, acoustic, hydrody-
namic, radar, and thermal signatures and increasing
payload, top speed, and operation range. Current composite
structural design requires time-consuming and expensive
sub-component and full-scale component testing to
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establish damage tolerance certification, resulting in the
investment of a significant amount of resources in the
material/structure certification phase. Given the time and
budget constraints, the development of a prediction tool for
damage onset and/or growth in composite structures can
play a key role in determining the design allowables, which
are often the limiting factor for structural efficiency and
load-carrying capacity.

Naval ship structures are subjected to low/high velocity
impact-induced damage during their service life caused by
ice impact, grounding, dropping tools during maintenance
operations, high impulsive shock waves from weapon
effects, etc. The fact that some of these impact events may
take place without leaving any visible evidence on the
surface of an impacted laminate makes it even more
important to account for these loading cases in the design
process. The non-inspectable and hidden damage resulting
from the dynamic impact has posed a great challenge in
designing and maintaining the damage tolerant composite
ship structures. The use of a ‘‘knock-down’’ factor based
on limited number of impact tests will result in a design of
unknown risk. The added unnecessary weight will have a
big impact on the payload, top speed, and operation range
of a ship. The development of a reliable impact damage
assessment tool is extremely important in decision making
regarding the continue operation or deport repair and
maintenance action after an impact accident. Using the
numerical simulation tool, a cost-effective design proce-
dure can be implemented by replacing the test-driven
certification process with performance-driven design
iterations.

Woven fabric composites have unique tailoring capa-
bilities for improving the impact resistance and high
strength of naval ship structural components. However, the
complex architecture of woven fabric composites makes
response and failure prediction very difficult and compu-
tationally intensive. Both in-plane damage resulted from
the shear cracking, matrix cracking, or the fiber breakage,
and out-of-plane damage induced by delamination coexist
and their synergistic interactions to the final failure depend
on the constituent materials, woven fabric micro-structural
parameters, stacking sequence, and geometric and loading
configurations. As stated by Yang and Cox [1] recently,
failure analysis involving both in-plane failure modes and
interlaminar delamination are far fewer, mainly due to
the complex nature of the coupling between in-plane and
out-of-plane damage events.

The continuum damage mechanics approach has been
used extensively in characterizing the in-plane damage as
shown in Refs. [2-6]. Most of the current continuum
damage mechanics approaches apply the composite-level
stress and strain in a failure criterion to predict the stiffness
degradation. However, it is the constituent stress and strain

@ Springer

that drive the constituent failure and the resulting stiffness
degradation at the composite level. Recognized that the
energy dissipates by various damage or fracturing pro-
cesses at constituent levels, the use of constitutive stress
and strain in a mechanism driven failure criterion has
become the recent subject of many research works [7-11].

The propagation of discrete damage in a form such as a
delamination or a debonding crack has been studied
extensively using either the cohesive interface element [12,
13] or the virtual crack closure technique (VCCT) [14, 15].
Since VCCT is primarily based on the theory of linear
elastic fracture mechanics (LEFM), it is only applicable for
a Griffith crack that grows in a self-similar manner. While
a Griffith crack can exist initially in a composite structure,
mechanisms such as fiber bridging across the crack surface,
interfacial fractional effect, non-linear crack tip crazing
zone, and delamination kinking may render the LEFM-
based VCCT inapplicable. In addition, an initial guess in
delamination size and location has to be pre-defined in
VCCT which will preclude its solution for solving free
edge crack nucleation and propagation, and delamination
in a composite panel due to low-velocity impact. On the
contrary, the damaged mechanics based cohesive interface
element can characterize both the brittle and ductile
fracture without posing the self-similar crack propagation.
The cohesive law, which relates the traction across the
interface to its separation, can capture the friction contact
and bridging due to the present of resin fragments, surface
roughness, and the through-thickness reinforcement. With
the aid of the cohesive interface element, the discrete
delamination damage can be captured using the continuum
damage mechanics approach. Thus, a unified depiction of
the continuum and discrete damage can be achieved based
on the damage mechanics theory to quantify the synergistic
interaction between the diffuse in-plane damage and the
discrete out-of-plane delamination.

The coupling effects between the diffuse in-plane
damage and discrete out-of-plane delamination have not
been adequately addressed to date [1]. The stiffness deg-
radation from the continuum in-plane damage will have a
direct impact on the inter-laminar stress and the resulting
delamination initiation and propagation. In addition, the
intensified stress field in the vicinity of a moving crack tip
will initiate new micro-damage that will accelerate the
stiffness degradation. Therefore, to accurately characterize
the damage progression in composite structures, the
embedded constitutive models of a FEM solver have to
capture both discrete and continuous damage along with
their interactions.

An accurate assessment of the accumulative damage to a
composite ship structure subjected to an aggressive loading
environment strongly relies on the accurate characteriza-
tion of the inherent multi-scale microstructures and the
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underlying deformation phenomena. The stress and strain
fields predicted at a global structural level are unable to
determine the damage and failure mechanisms at the con-
stituent level and the resulting stiffness degradation. To
capture the synergistic interaction of constituent failure
modes that leads to material degradation and final rupture,
the stress/strain response at each microstructural level has
to be determined from given macro stress/strain response
parameters. Given the constituent stress and strain and the
associated mechanism-driven failure criteria, the material
degradation at each constituent can be quantified. Finally,
to propagate the damage from the constituent to the
structural level, a multilevel homogenization has to be
performed. Therefore, to implement a multi-scale pro-
gressive failure analysis, a dual-function micromechanics
model has to be developed to (1) decompose the response
parameters from the global structural level to microstruc-
tural levels for the failure mode prediction and (2)
homogenize damaged material properties at the global
structural level based on the damaged material properties at
microstructural levels for the damage prediction at the next
loading stage. As both the decomposition and homogeni-
zation procedures have to be performed at each Gaussian
point and at each time step during a finite-element-based
dynamic progressive failure analysis, it is imperative to
develop an efficient micromechanics model while retaining
sufficient accuracy.

In this study, a hybrid discrete and continuum damage
model is developed and numerically implemented within
the LS-DYNA environment via a user-defined material
model. The delamination failure along an interface is
characterized by the cohesive element approach with a

Fig. 1 An overview of multi-

user-defined cohesive law. The in-plane damage resulting
from the fiber/tow/matrix failure in a woven fabric com-
posite is characterized using a continuum damage model.
To capture the mechanism driven stiffness degradation, the
constituent stress and strain are computed first from the
composite-level stress/strain using the recently developed
micromechanics tool, CELLMAT. The CELLMAT tool
serves as a dual-function micromechanics model to (1)
quantify the thermal-mechanical composite material
properties of an unbalanced weave at a given constituent
damage state and (2) establish the mapping relation of the
stress/strain response between the microstructural and
macrostructural levels. A logical diagram along with the
key solution components of the dynamic failure prediction
tool is shown in Fig. 1. As can be seen from Fig. 1, a multi-
scale framework has been established to bridge the
response and damage prediction at the constituent, ply,
laminated plate, and composite structure level.

An overview of the CELLMAT solver is described first
followed by a brief description of the mechanism driven
failure criteria. A bridging model is formed to quantify
laminate response from a given damaged ply distribution.
After establishing the multi-scale framework for charac-
terizing the continuum damage, a cohesive interface model
is presented along with its numerical implementation. By
integrating the multi-scale continuum damage model with
the cohesive interface model, a hybrid dynamic failure
prediction tool is given along with a summary of the
numerical solution procedure. Three example applications
of the hybrid dynamic failure prediction tool are introduced
to demonstrate its applicability and solution accuracy: (1) a
circular laminate plate subjected to a dynamic shock
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loading; (2) a composite hat stiffener subjected to a low
velocity impact on the bottom baseplate; and (3) a
sandwich beam subjected to a drop weight impact.

Micromechanics cell model for an unbalanced plain
weave

In order to accurately capture the diffuse in-plane damage
and the resulting stiffness degradation, a four-cell mi-
cromechanics model is developed to quantify the constit-
uent damage induced ply properties and decompose the
stress and strain from the composite level to its constituent
level for the constituent based failure prediction. The finite
element based micromechanics model (TMAT) has been
developed for the thermal-mechanical response prediction
of a balanced weave [16—18]. Despite the automatic FEM
solution process used in TMAT, it is not well-suited for the
dynamic progressive failure prediction of a large composite
structure. This is because the TMAT solver needs to be
executed for each Gaussian point and at each time step. To
circumvent this difficulty, a set of discrete damage states
are pre-defined based on the failure logic in Ref. [11]
where material properties at each of these damages states
are computed in advance using the micromechanics model.
However, the replacement of a continuous damage space
by a set of discrete ones cannot capture various failure
scenarios associated with combined loading cases. In
addition, the lack of continuous stiffness degradation
among these damage states may introduce spurious
numerical noise in time dependent stress/strain response
predictions.

Fig. 2 Comparison of balanced
and unbalanced weave
representation of a Seemann
composite system
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Because of the high computational cost associated with
a finite-element-based micromechanics model and limita-
tions of an oversimplified micromechanics model in
accurately capturing the microstructures and the underlying
deformation phenomena, a four-cell micromechanics
model [19] is selected for its implementation in the hybrid
damage prediction tool to enhance the numerical efficiency
while retaining sufficient accuracy for constituent response
prediction. Since the commonly used naval composites are
unbalanced plain weave with the warp tows spaced 5.1 mm
(5 tows per inch) and fill tows spaced at 6.4 mm (4 tows
per inch) as shown in Fig. 2, the original four-cell method
[20] for a balanced weave has been extended in Ref. [19]
for the thermal-mechanical response prediction of an
unbalanced weave.

The cell-based micromechanics model is developed
based on a multi-constituent homogenization in conjunc-
tion with the iso-stress and iso-stress description. The
representative volume element (RVE) of an unbalanced
weave is first decomposed to its subcells and the multi-
constituent homogenization is then applied for each subcell
to establish the mapping relation between the subcell and
its constituent response parameters. After homogenizing
each subcell, a parallel-series approach is then applied to
determine the thermal mechanical response of the RVE
from the response parameters of each of its subcells.

The cell decomposition procedure is illustrated here
using the TMAT micromechanics model of a balanced
weave. As shown in Fig. 3, the RVE is first simplified by
using quarter-symmetry. Next, the 1/4th RVE is further
decomposed into the XY-, XR-, YR-, and RR- cells. The

SEM Picture of Seemann
5/4 Unbalanced Weave
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Fig. 3' Ilustration of b.a.s1c v Unit Cell
steps in cell decomposition

Vi 1/4th Unit Cell

Resin (R)

XY-subcell

XY-cell consists of primarily the X- and Y-tow with a
small volume fraction in resin (R). In XR- and YR- cells,
the tow (X or Y) volume fraction and the resin volume
fraction (R) is assumed the same. For the RR-cell, 100% of
the material is resin (resin pocket). These four individual
cells form the basic building blocks of the 1/4th unit cell
model.

To characterize each of these four basic building blocks
by the cell homogenization model, two simplifications are
used as follows: (1) the tow cross-sectional shape is
assumed to be rectangular; and (2) the undulated X- and
Y-tow is replaced with a straight line segment. The
resulting simplified four-cell representation of the unbal-
anced weave is depicted in Fig. 4. Four microstructural

YR XY V, &

BY v,
L=L/L =10

Fig. 4 Four-cell representation of an unbalanced plain weave

XR-subcell

YR-subcell RR-subcell

parameters are used to characterize the weave architecture:
(1) tow thickness (H,y); (2) tow volume fraction within
the 1/4th unit cell (Viow); (3) the X-tow spacing (L,); and
(4) the Y-tow spacing (L,). The size of the 1/4th unit cell in
dimensionless space is defined by L,=0L,/L, =
1.0,L, = L\/L,, and H = H/L,. Using these dimension-
less parameters, the length of the straight portion of either
the X- or Y-tow (V)), the X-tow angle (0,) in the XR-
subcell, and the Y-tow angle (6,) in the YR-subcell can be
determined by

Vy = 2LViow/ (1 + Ly) (1)
0, = tan" ' [H/4(L, — V})] 2)
0, = tan"' [H /4(1 — V})] (3)

Given the overall fiber volume fraction in RVE of V}VF,
the fiber volume fraction within a tow can be calculated by

2VRVEL
ftpw — S _x (4)
Vf (1 + LX)

For a balanced weave, we have L, = LX/Ly = 1.0. Using
Egs. (1) and (4), we have V; = V,o,, and ViV = VRVE/V, As
can be seen from Fig. 4, except for the RR-cell, each cell
consists of two material phases. The complete derivation of
the thermal-mechanical decomposition model for each
subcell can be found in Ref. [19]. For illustration purpose,
the derivation of the thermal-mechanical decomposition
model for the XY-subcell is summarized below.

As shown in Fig. 4, the XY-cell is filled completely with
the straight part of the X-tow and Y-tow with the same
subcell volume fraction. Unlike the balanced weave, a
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distinct thermal-mechanical constitutive model is used to
characterize both the X- and the Y-tow. For the XY-cell, it
is assumed that the global unit cell coordinate system
shown in Fig. 4 coincides with the XY-cell coordinate
system. Given the orthotropic behavior of the X-tow and
Y-tow defined in the material coordinate system, the con-
stituent behavior of the X- and Y-tow in the XY-cell
coordinate system is defined by

o) rcy ¢k ¢ 0 0 0]
7 cX ¢ 0o 0 0
ol | _|ChH C5 ¢ 0 0 0
o[ 0 0 o0 ¢ 0 o
ot 0o 0 0 0 Cc& o
) Lo o o o o ckl 5
e — af AT
g;i,—oc){AT
e — o5 AT
Ve
Ve
Vi
o) ¢L L ch 0 0 07
fv ch, ¢t ¢, 0 0 0
ol | |ch ¢, ch 0o 0 o0
(o o o ¢k o o0
o 0 0 0 0 C, o0
o) Lo 0o o o o ck] "
T — VAT
WfocIYAT
el —aYAT
Ty
Vo
Yy

where the superscript X and Y in Eqgs. (5) and (6) denote the
parameter associated with the X-tow and Y-tow, respec-
tively, and the subscript 1, 2, and 3 given in the stiffness
matrix [C] and the coefficient of thermal expansion vector
{a} represent the property variable defined along the tow
(1) and transverse to the tow (2, 3) direction. Given the
perfect bonding of X- and Y-tow within the XY-subcell, the
iso-strain {sfxy,sfyy, /fyy} and the iso-stress {GfZY,O'fZY , (TXY} of
the XY-subcell are assumed to be the same as the corre-
sponding stress and strain in the X- and Y-tow, namely,
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X Y XY _ —
Exx _‘L'xx_f‘xx ’ O—z)i_ szy
Yy _ — O’XI
Sfy =&y = o yz (7)

Rearranging the strain and stress in Egs. (5) and (6) in
terms of iso-strain {g, = {&x,&,,y,,) and iso-stress
{6,} = {6-.,6,-,0.), Egs. (5) and (6) can be rewritten as

o—%

Oy
{ah-cot-1% @l{a}+ {2} ©
oy oL C;, Cg & O

GZX

where k is an index representing either X or Y and the
thermal stress vector {a,} and {o%,} in Eq. (8) is define by
{05} ={050.0%3y,07y )" and {0,}={0%...0%,.,.07..}, respe-
ctively. The four stiffness matrices (ck, .ck.ck.cr)in Eq.
(8) can be determined from the partitioning the effective
stiffness matrix defined in Eq. (5) or Eq. (6) using the
iso-strain (g,) and the iso-stress (o) definition. The
thermal stress {a’}n,al}s} can be computed from the thermal
strain by

k

Tm =~ [Ck FT" + Ck FTS] ; and OJ;"S [Ck e, + Ck ?Ts}

©)

For a general orthotropic material subjected to a given
temperature jump AT, the thermal strain for the kth
constituent can be computed by

k _

8T)oc OC)IE_
ek k
Tyy O(y
k k
& Ves 0
mb=9 "= AT (10)
€ ek ok
Ts Tzz z
k
k 0
'))sz - -

Substituting Eq. (7) into Eq. (8), the unknown constituent
stress and strain can be determined from a given iso-stress
{oX¥} and strain {&}”} of the XY-subcell by

{4} =[[ch] - [ch] [c] " [ch] | {7
+ [ch] (] {e)
+ [ [Ch][ck) ek] — [k |ehs k=xY

(11)
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Using Eqgs. (7), (11), and (12), all the stress and strain in
either X- or Y-tow can be solved from the stress and strain
defined in subcell XY (6XY,&XY). Thus, a stress and strain
decomposition module is formed for the XY-subcell where
the constituent stress and strain can be determined from the
stress and strain at the subcell level.

The decomposition module for the remaining subcells
(XR, YR, RR) can be derived in exactly the same way as
for the XY-subcell. Next, the mapping relations between
the subcell stress/strain {65¢,&5¢; SC = XY, XR, YR,RR}
and the global unit cell stress/strain {oRVC eRVC} are
developed using a parallel-series approach described by
Ivanov and Tabiei [20]. With the aid of this two-level
decomposition, the subcell stress/strain {65, &5C} are
computed first from the global unit cell stress/strain
{eRVC eRVCY followed by the determination of the con-
stituent stress/strain {6*,&*;k = X, Y, R} from the subcell
stress and strain {a°C, £5C}.

The nine (9) equivalent elastic constants (E;, E,, Es,
G2, Ga3, G3y, V21, Va1, V32) of a ply (RVE) are determined
by applying the energy equivalence of the RVE subjected
to 9 independent global strain fields. These nine uniform
strain fields of the RVE are associated with the non-zero
tensile strain in x-, y-, and z- direction, non-zero shear in
xy-, yz-, and zx-plane, and the biaxial strain in x/y-, y/z-, and
7/x-direction. After determining the equivalent material
properties of the ply [C], the three equivalent coefficient of
thermal expansion {ay,0,, o3} of the ply is computed from
the thermal-mechanical cell model by

Chi Cpp Ci| (o ol
Ca Cn Cyp|qn =% d, (13)
Ci3 Cun G| ol

where o1,02,, and o35 are the components of the residual
thermal stress of RVE associated with a unit temperature
increase subjected to a zero-displacement constraint
(uy = uy, = u, = 0.0) in RVE.

The four-cell representation of an unbalanced plain
weave unit cell provides a hierarchical micromechanics
framework for quantification of constituent damage
induced thermal-mechanical properties and stress/strain
response at multi-scale levels. A dual-function microme-
chanics model, CELLMAT, based on the above cell
method, is developed for an unbalanced weave subjected to
a thermal-mechanical load. The woven fabric analyzer in
CELLMAT serves as a material virtual testing tool to
determine the effective thermal-mechanical properties at the
composite level for given microstructural and constituent

material parameters. The two-level stress/strain decompo-
sition in CELLMAT establishes a link among the response
parameters at different microstructural levels. Because of
the high computational efficiency, CELLMAT is ideally
suited for its use in the finite-element-based failure
prediction where the degraded thermal-mechanical prop-
erties have to be determined at each Gaussian point and at
each time step.

Mechanism-driven failure criteria and continuum
damage progression

Most of composite failure criteria are derived for a unidi-
rectional composite. Advanced failure criteria exist that
distinguish modes of failure, for instance, compressive
matrix failure, tensile matrix failure, compressive fiber
failure, and tensile fiber failure. Hashin’s criteria [21] were
the first to make this distinction. While not as popular
among analysts as the simpler, tensorial and Tsai envelop
criteria [22], Hashin’s criteria, and its derivatives, are used
by most researchers [23].

Due to the lack of mechanism based failure criteria for
woven fabric composites, existing failure criteria of a
unidirectional composite have been modified for the dam-
age and failure prediction of a woven fabric composite.
The physical basis behind this is that each tow in the woven
fabric composite can be characterized as a unidirectional
composite. This approach is valid if the stress/strain of a
tow is used in the failure criteria of the unidirectional
composite. However, many researchers have used the
composite level 6/¢ as the tow ¢/¢ in the failure criteria
derived from the unidirectional composites.

In this study, the stress and strain in each of these three
(3) constituents (X-tow/Y-tow/resin) are determined from
the o/¢ at the composite level using CELLMAT. Given
the 6/¢ defined in the local material coordinate of a tow
and resin, modified Hashin’s criteria listed in Table 1 are
used for each constituent. Two types of failure criteria are
employed to distinguish the tensile failure mode from the
compressive failure mode. Given the unit-cell coordinate
system defined in Fig. 4, the stress along the X-tow is g
while the stress along the Y-tow is g,. Note that the o
used in the X-tow tensile failure criterion and o, in the Y-
tow tensile failure criterion are the average tow-stress
along the X-tow, and Y-tow, respectively. Based on this
notation, the other constituent stress components defined
in the constituent failure criteria are self-explanatory. In
Table 1, the constituent strength parameters are defined
by

X, Y1, and Zr—Axial and transverse tensile strength of a
tow
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Table 1 Summary of mechanism-driven failure criteria in each constituent

Constituent failure modes Tensile failure

Compressive failure

X-tow (along the fiber direction) <01)2+ (m+m ’

X-tow (perpendicular to the fiber direction)

Y-tow (along the fiber direction)

Y-tow (perpendicular to the fiber direction)

Delamination failure

In-plane matrix shear failure (resin)

2
©a1>0 (/%‘:) >1; 0,<0
[ [ Y 2 ] g ? z :
5250 2GR (@) +(3) 21 s
- ]
i a>0 ()%C) > 1 02<0
e ) s
I (1 A
2 i 2 ’ :
Y2u as0 g (&) )+ () H(E) 26 e

Xc, Yo, and Z-—Axial and transverse compressive
strength of a tow

Ty and Tt—Longitudinal and transverse shear strength of a
tow

T,s—Shear strength of a resin pocket

Note that the delamination criterion given in Table 1 is
used to predict the microcracking induced debonding of a
woven fabric unit cell (x-tow/y-tow/resin pocket). Since the
micro-debonding failure occurs in a resin-rich zone, the
stress components in the resin phase are used in the deb-
onding failure criterion.

A set of internal damage variables (w;) are used to
characterize the damage evolution and the resulting stiff-
ness degradation based on the predicted failure mode listed
in Table 1. A damage evolution algorithm for an aniso-
tropic material developed by Matzenmiller et al. [24] is
employed for the diffuse in-plane damage progression
analysis. Given the damage thresholds r;, (i=1, 2, ...11)
associated with the ith failure criterion listed in Table 1,
the corresponding damage variable w; can be determined
by
w=1- ene(1=77) (no sum on index i) (14)
where m is a strain rate softening constant. Using Eq.
(14), the stiffness reduction can be characterized by
C=(1-m;)C;, where C,y is the stiffness at its virgin state.

Bridging model between the damaged plies and the
resulting laminated plate

The progressive failure analysis of a large laminated
composite ship structure is computationally intensive.
Because of the non-uniform stress and damage distribution
in the through the thickness direction, multiple layers of
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elements are needed to be introduced in the finite element
model. While the use of the layered shell or layered solid
elements can greatly enhance the computational efficiency,
its modeling fidelity highly relies on the accuracy in
determining the smeared laminated plate properties from
the individual damaged ply properties. To construct the
smeared laminated plate properties from its ply properties,
the CELLMAT solver has to be integrated with a general
purpose laminator (see Fig. 1).

Because of the non-uniform damage distribution in the
through the thickness direction, the damaged laminated
plate is no longer symmetric despite its initial symmetric
configuration. The presence of larger transverse shear
deformation will render the classical lamination theory
inaccurate. In this study, a Reissner—Mindlin based
lamination model (VAPAS) is selected as our laminator.
VAPAS is developed by Yu [25, 26] based on the varia-
tional-asymptotic method to provide a generalized 2D
constitutive law and accurate 3D recovery relations of a
laminated composite plate/shell. The variational asymp-
totic method is employed to reduce the dimensionality
systematically in terms of the smallness of A/l and A/R,
where his the thickness, / the characteristic wavelength of
in-plane deformations, R the characteristic radius of cur-
vatures for the undeformed reference surfaces. VAPAS
decouples the nonlinear 3D problem into a linear, 1D,
through-the-thickness analysis and a non-linear, 2D, plate/
shell analysis. VAPAS implements the through-the-thick-
ness analysis to calculate a generalized constitutive model
for the 2D plate/shell analysis and recover the 3D
distributions of displacements, strains and stresses based on
the global responses. Validation studies have been per-
formed in Ref. [25, 26] by comparing VAPAS predictions
against the solutions from the classical lamination theory
(CLT), the first-order shear-deformation theory (FOSDT),
and 3D exact solution.
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Cohesive interface model for delamination initiation
and propagation

A multi-scale computational framework for characteriz-
ing continuum in-plane damage has been formulated in
Sections ‘‘Micromechanics cell model for an unbalanced
plain weave’’, ‘‘Mechanism-driven failure criteria and
continuum damage progression’’, ‘‘Bridging model
between the damaged plies and the resulting laminated
plate’’. Due to the coexistence of continuum in-plane
damage and discrete out-of-plane delamination damage, a
cohesive interface model is implemented in the hybrid
failure prediction tool via a user-defined material model
in LS-DYNA3D. In the cohesive interface model, the
traction force acting on the surface of a delamination
crack is determined from the corresponding component
of the displacement jump. For the demonstration pur-
pose, an elastic cohesive model based on Tvergaard—
Hutchinson (TH) [27] is employed in the current study.

To establish a mapping relation between fracture
mechanics and the cohesive interface model, a pair of
double nodes associated with the cohesive interface element
is introduced where the top and the bottom node is defined
as the slave and master node. A constitutive material model
is introduced to compute the cohesive force based on the
relative displacement between the slave and the master
node. A cohesive law is formed to ensure that the crack
absorbs the correct energy G;c and that it can only

The potential @ can be obtained from the potential
density via

2
® =3, / (),

and the traction can be calculated from the potential ® by

(16)

00
T 8Aul '

(17)

In Equation (15), 0nax 1S the maximum cohesive force
and A is the dimensionless total crack opening displace-
ment defined by:

AN ETANEUAY
5) o) T\a ) )

where 9, and J,, is the critical crack opening displacement
in Mode II (Mode III) and Model I, respectively. The
parameters 4; and A, in Eq. (15) denote the dimensionless
crack opening displacement at the initial peak traction and
the final peak traction, respectively. By substituting Egs.
(15) and (16) into Eq. (17), the tangential crack surface
traction (7}; i=1, 2) can be determined by:

J= (18)

O_max/ )(Aul/ét)(é /5 ) A< )Ll
T = max/ )(A”l/é )(6n/6:1); M <AL, (19)
TN o (U= 22)) (1= 2)/2)(Auif3)(0af8); 52 < 1<10°
0.0; 2> 1.0

propagate if sufficient stored energy is available from the
surrounding material to drive crack growth. Based on the

(O_qunax//ll)(Au3/5n); A< A
T = (Gnmax//l) (AU3/5,1); }1<}§A2
! (Tha/ (1= 22)) (1 = 2)/2)(Aus [0,); 72 < 2<1.07

0.0; A>10

The normal traction force associated with Mode I frac-
ture is computed by:

Tvergaard-Hutchinson (TH) model, the potential density ¢
from a given crack opening displacement Au is defined by:

amaxf; A<h
_ Omax; M <AL A2
¢(Au) = Oman 25 72<A<10” (15)
0.0; A>1.0

During numerical implementation of the above cohe-
sive interface model, the crack opening displacement
(Au;) defined in Egs. (19) and (20) is computed from the
relative nodal displacement and then transformed to the
local crack coordinate system with z along the normal
direction of the crack surface. In addition, the model
is numerically implemented using a dimensionless
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displacement jump. Thus, the critical crack opening
displacement (Ac) has a constant value of 1.0 in its
dimensionless space.

The original TH-model is developed based on a trape-
zoidal shape function for both the tangential traction (7}) in
Eq. (19) and the normal traction (7;,) in Eq. (20). For the
current 3D fracture problem, it is assumed that both the
critical crack opening displacement and the maximum
cohesive force under Mode II and Mode III are the same.
Thus, the energy release rate associated with the normal
(Mode I) and tangential (Mode II or Mode III) mode can be
computed by:

I 0

G = / T,d5 Gy = / T,ds. (21)

0 0

Given the trapezoidal function for the cohesive force,
T(A), the critical crack opening displacement (J,,0,) can be
determined from the following energy balance equation by:

1 1
Gic==0d" 0 (1—21—&-12) Gllcziﬂ;axét(l—ilﬁ-iz).

2 max 1

(22)

There are six parameters associated with the general TH-
model. They are: (1) the maximum normal cohesive force
(6" max); (2) the maximum tangential cohesive force (67 max);
(3) the critical normal crack opening displacement (4,,); (4)
the critical tangential crack opening displacement (9,); (5) the
shape factor 4;; and (6) the shape factor 4,. For the triangular
cohesive model, we can simply assume 1, = 1, = A, where 4
can be determined from the ratio of the crack opening
displacement at initiation and propagation by 4 = d¢/dc.

Summary of solution procedure in hybrid damage
prediction tool

To capture the constituent driven continuum failure pro-
gression and the synergistic interaction between the dis-
crete and continuum damage, a hybrid progressive damage
model is developed and integrated with the LS-DYNA3D
finite element solver. Both the continuum damage model
and the cohesive interface model are implemented in LS-
DYNAZ3D via the user-defined material models. To prevent
the penetration of the upper and lower cracked surface
under compressive loading, an eroding single surface
contact is applied during the numerical solution process.
The key solution procedure is summarized below

e characterization of composite ply properties from its
constituent properties at a given damage state via
CELLMAT;
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e propagation of individual damaged ply properties into
the VAPAS laminator for quantification of composite
properties at the laminate level;

e performance of a FEM based structural response anal-
ysis using the LS-DYNA3D FEM solver;

e decomposition of composite stress/strain response into
its constituent stress/strain at a Gaussian point via
CELLMAT;

e application of a constituent based failure criterion for a
rational stiffness degradation based on the predicted
failure mode;

e generation of new composite properties for next load-
ing stage;

e characterization of delamination failure at the interface
via a cohesive element model;

e quantification of interface delamination at each loading
stage in the presence of surrounding continuum dam-
age.

Both the applicability and accuracy of the hybrid
dynamic failure prediction tool are demonstrated next via
its application to a sub-structural component subjected to
dynamic shock and impact loading.

Example applications of the hybrid dynamic failure
prediction tool

To demonstrate the applicability of the developed hybrid
dynamic failure prediction tool, three examples are pre-
sented here: (1) a circular plate subjected to a shock loading;
(2) a composite hat stiffener under a low velocity impact;
and (3) a composite sandwich beam subjected to a drop
weight impact. Dynamic tests have been performed on
structural components associated with Example 1 and
Example 2 to (i) understand the dynamic response and
failure mechanisms; (ii) determine the ability of current
analytical tools for response and damage prediction; and (iii)
use the test data to evaluate the fidelity of the state-of-the-art
composite material damage models. The goal from this
combined experimental and analytical study is to reduce the
high cost and time associated with a test-driven shock cer-
tification. Example 3 is used to demonstrate the synergistic
interaction between the in-plane continuum damage and the
out-of-plane discrete damage (delamination).

A circular woven fabric laminated plate subjected to
dynamic pressure loading

The circular composite panel specimen fabricated by
Seemann Composites, Inc. uses the 24 ounce woven roving
E-glass balanced weave with the vinyl ester resin. The
overall fiber volume fraction in the plain weave is 51%.
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The laminated plate has 16 plies with the thickness of
9.652 mm (0.38 in). Given the elastic properties for each
constituent shown in Table 2, the effective ply properties
predicted from CELLMAT are summarized in Table 3.
The lamination sequence of the plate is [0/45/90/-45]
with the ply thickness of 0.60325 mm. As shown in Fig. 5,
the plate of radius of 0.114 m (4.5 in) is mounted between
the steel mounting flange and the steel retaining ring.
Figure 6 shows a list of elements where the strain
gauges are placed. The bottom surface of the laminated
plate is hit by a shock wave generated from a given
dynamic impact.

Using the ply properties given in Table 3 and the
stacking sequence of [0/45/90/-45],;, the 16-ply laminated
plate properties are computed from the VAPAS laminator
[25-26]. The smeared solid elastic constants of the lami-
nate at its virgin state are given in Table 4. Given the
applied boundary conditions, the dynamic pressure gener-
ated from a shock loading on the bottom surface is not
uniform. A comparison of time histories of dynamic pres-
sures at the selected elements at bottom is given in Fig. 7.
For the progressive failure analysis, the in-situ constituent
strength parameters are derived from the unidirectional
composite model and given in Table 5.

Table 2 Summary of constituent properties of seemann composite
(plain weave)

Thermal/mechanical properties E-glass (Fiber) Vinyl ester (Matrix)

Elastic modulus E (psi) 1.05 x 10’ 471 x 10°
E (GPa) 72.45 3.25
Poisson’s ratio v 0.225 0.325
Coefficient of thermal 5.4 65

expansion k(ue/K)

Table 3 Summary of orthotropic ply properties at its virgin state
generated from CELLMAT

Ply-orthotropic material properties CELLMAT-prediction

E, (psi) 3.599 x 10°
E, (GPa) 24.82

E, (psi) 3.599 x 10°
E, (GPa) 24.82

E. (psi) 1.567 x 10°
E, (GPa) 10.80

Vi 0.1387

Ve 0.3163

Vi 0.3163

ny (pSI) 0.652 x 106
G, (GPa) 4.496

G, (psi) 0.4888 x 10°
G, (GPa) 3.370

G,. (psi) 0.4888 x 10°
G, (GPa) 3.370

0.3BINCH PLATE WITHOUT SHELL SURFACE
U]

Time =

Steel Retaining
Ring

Fig. 5 A circular laminated composite plate subjected to a dynamic
shock wave on the bottom surface

0.38INCH PLATE WITHOUT SHELL SURFACE
Time = o =

Fig. 6 List of locations of strain gauges on the top and bottom of the
plate

Table 4 Summary of undamaged laminated plate properties

Laminate-orthotropic material properties VAPAS-prediction

E, (psi) 2.910 x 10°
E, (GPa) 20.06

E, (psi) 2.910 x 10°
E, (GPa) 20.06

E, (psi) 1.568 x 10°
E. (GPa) 10.81

Vo 0.3036

Vo 0.1377

Vay 0.1377

G,y (psi) 1.116 x 10°
G,y (GPa) 7.695

G.. (psi) 0.4888 x 10°
G,. (GPa) 3.370

Gy (psi) 0.4888 x 10°
Gy (GPa) 3.370

To demonstrate the accuracy and validity of the con-
tinuum damage model for progressive failure prediction,
the strain gauge data measured from multiple tests are used
to compare with the strain response prediction at a given
location. A comparison of time histories of strain predic-
tion at element 2665 and 361 near the clamped edge (see
Fig. 6) is shown in Fig. 8, and 9, respectively. While the
peak strain response from the model prediction is slightly
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Fig. 7 Comparison of time 3.00E+04

histories of applied pressure at

selected elements of bottom

plate shown in Fig. 6 2.00E+04
1.00E+04

Pressure (psi)
o
o
o
m
+
o
o

-1.00E+04 +

-2.00E+04

-3.00E+04

E-03

1.50E-03

-7 —at Elem‘ent 449 r-----1
—at Element 473
e at Element 421
—at Element 361

Table 5 Summary of constituent strength parameters used in the
user-defined material model in LS-DYNA3D

Strength Numerical value used in
parameters continuum damage model
Xt (ksi/MPa) 48.4/333.72

Xc (ksi/MPa) 42.2/290.97

Y (ksi/MPa) 43.6/300.62

Yc (ksi/MPa) 38.7/266.84

Zt (ksi/MPa) 7.8/53.78

Zc (ksi/MPa) 60.0/413.70

Tr (ksi/MPa) 7.4/51.02

Tr (ksi/MPa) 7.4/51.02

T,s(ksi/MPa) 7.4/51.02

lower than the test data, the general trend from the model
prediction agrees well with the experimental observation.
The lower predictions for the maximum strain response are
attributed to the effect from the lower strain predictions at

Fig. 8 Comparison of strain 1.00E+04

Time (sec)

the Gaussian points which are not exactly at the gauge
locations on the surface. To further demonstrate the accu-
racy of the constituent based failure prediction using the
mechanism-driven failure criteria given in Table 1, a
comparison of predicted microcracking-induced debonding
zone (interlaminar failure) is shown in Fig. 10. The size of
the predicted damage zone matches well with the experi-
mental observation.

In order to examine the effects of the plate thickness
on the final damage distribution, two different types of
specimens with the plate thickness of 0.58” (14.7 mm)
and 0.86” (21.8 mm) are used in the shock tests. The
predicted damage patterns for the top and bottom side of
the 0.58”, and 0.86” specimens are shown in Fig. 11 and
12. In these Figures, the spatial distribution of the
accumulative damage parameter associated with the
inter-ply debonding (wq) is plotted with the red region

response prediction at element
2665 with strain gauge data

5.00E+03 -~ --------

Microstrain

-5.00E+03 -~ ----

-1,00E+04 4 -~~~ ¥

-1.50E+04

E+00

——S1007x_891 -
S1004x_893
S1007x_893
——S51004x_895
—S1007x_895
——S3007x_901
— Progressive Model Prediction
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Fig. 9 Comparison of strain 2.50E+04

response prediction at element
361 with strain gauge data

2.00E+04 +---------

1.50E+04 4 -~~~ - /

Microstrain

0.00E+00 7+
3.30E+0

-5.00E+03 4 -~

1.00E+04 4 -— -~ i

5.00E+03 +-----f+[--

3 — S1003x_891
3 ——S51003x_893

S1003x_895
N 7777777777777 S3003x_901) |
—— Progressive Model Prediction

e

77777 r*””’*””’*’i’”\t;f et
4.30E+00 4.80E+00 5.30E+00

-1.00E+04

Fig. 10 Comparison of
predicted damage with
experimental observation

0.3BINCH PLATE WITHOUT SHELL SURFACE
Time = 0.002

Contours of History Variable $18

min=0, at elemd 2625

max=1, at eleml 2632

indicating the complete microcracking-induced debond-
ing failure (wgq =1) and the blue region representing
wq =0. The light blue and green colors indicate the
partial damages associated with the matrix cracking in
the resin pocket and in the X- or the Y-tow. While the
size of the inter-ply damage zone is reduced significantly
with the increase of the plate thickness, an interior
matrix cracking zone is still shown in Fig. 12. In addi-
tion, a small debonding zone can be seen also on bottom
of the 0.86” specimen. For the thickest plate (0.86"), it
can be expected that both the matrix cracking and deb-
onding failure are initiated mainly due to the higher
transverse shear stress.

A composite hat stiffener subjected to low velocity
impact at the baseplate

After demonstrating the validity of the continuum damage
model, a composite hat stiffener subjected to a low velocity

Fringe Levels
1.000e+00 _
9000601 _
B.000e-01 _
7.0006-01 _
6.000e-01 __
5.000e-01 _
A.000e-01 _.EI
3.000c-01 _
2.000e-01 _

1.0006-01 _ I
0.000¢+00 _

impact is considered to demonstrate the applicability of the
cohesive interface model described in Section ‘‘Cohesive
interface model for delamination initiation and propaga-
tion’’. The composite hat stiffener is mounted on a shock
table that is impacted by a hammer at a given drop height.
The test set-up and instrumentation are used to study the
failure mode and failure energy of a bonded structure at a
sub-scale level.

To reduce the computational effort, a half-symmetry
solid model shown in Fig. 13 is used for the low velocity
impact analysis. A cap mass of same weigh and dimension
as in the test setup is incorporated in the model analysis.
Given the measured time history of the shock table motion
after an impact, a prescribed displacement boundary con-
dition is defined at the location of the half rounds clamper.
As shown in Fig. 13, the hat stiffener consists of (1)
E-glass/vinyl ester woven fabric laminated plate (base-
plate); (2) web stiffener reinforcement (upper/side/lower/
taper); (3) syntactic foam; and (4) structural putty. In this
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Fig. 11 Display of inter-ply damage zone predicted by the contin-
uum damage module in 0.58” thick specimen

Fig. 12 Display of inter-ply damage zone predicted by the contin-
uum damage module in 0.86” thick specimen

example problem, the critical values of the strain energy
release rate are collected from the ARL Report [28]. The
Mode I and Mode II G-values are given by

@ Springer

/ Cap Mass

Enforced Displacement

Baseplate

Fig. 13 Half-symmetry solid model of a composite hat stiffener

Gre = 2.653in — Ib/in’> Gy = 6.256in — Ib/in®.  (23)

Based on the experimental calibration, the maximum
cohesive strength associated with Model I and Model II/IIT
are given by

o =1644.22psi ¢

max max

= 2516.44psi. (24)

Substituting Eqgs. (23) and (24) into Eq. (22) and using
A1=/4,, the critical crack opening displacements for normal
mode (Model I) and shear mode (Mode II or Mode III) are
given by:

S, =3.227x 103 in 5, =4.972 x 10 3 in. (25)

Given the composite material properties (same as in
Example 1), cohesive model parameters (Egs. (23)—(25)),
and the initial impact condition, the progression of damage
predicted from the cohesive model is shown in Fig. 14
from crack initiation, propagation, to the final separation.
As shown in Fig. 14, a crack is initiated at the tip of the
putty from its outer edge. Visible crack initiation is pre-
dicted here at 41.6 ms; approximately 0.8 ms after exper-
imentally observed initiation. The crack then propagates in
both directions, with faster growth toward the web taper.
Because of the intensified stress field at the tip of the web
taper, a second crack is initiated in the vicinity of the tip of
the web taper from its corner. Coalescence of the 1st and
the 2nd cracks results in complete debonding between the
web taper and the base plate. Finally, the coalesced crack
propagates towards the foam, resulting in complete
unzipping along the interface. The failure sequence and
failure patterns shown in Fig. 14 agree well with the
experimental observations from a high speed camera as
shown in Fig. 15.

Because of the intensified shear cohesive force zone at
the outside edge of the putty tip (see the blue color zone
in Fig. 16), a crack will be initiated there due to the
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Fig. 14 Predicted delamination PHST HITS MASS T
damage progression along the max displacement factor=5 sy s s
interface of the hat stiffener e displacementfacter-2
Initiation

PHET HITS MASS
Time = 4
max displacement factor=2

Fig. 15 Illustration of failure
events observed from a high
speed camera

PHS7 HITS MASS e
Time = 0.043

deletion of the cohesive element. To illustrate the crack
growth pattern along with the time evolution of the
cohesive shear stress, the damage progression of the
cohesive patch is shown in Fig. 16 along with the dis-
tribution of the cohesive shear force. As shown in
Fig. 16, the crack growth pattern is nearly symmetric
with respect to the global xy-plane. A Model II crack is
initiated at the tip of the putty from its outside edge.
After initiation, the crack propagates in the horizontal (x)
and the through-the-thickness (z) direction. A second
crack is then initiated at the corner of the web taper and
propagates in both the x- and z-directions. Finally, deb-
onding between the foam core and the base plate occurs

resulting in a complete separation. Both the failure se-
quence and the time of delamination initiation agree well
with the experimental observations.

A sandwich beam subjected to a low velocity impact

The accuracy of the continuum damage and the discrete
damage prediction module within the hybrid damage pre-
diction tool has been demonstrated via its application in
Example 1 (see Section ‘‘A circular woven fabric lami-
nated plate subjected to dynamic pressure loading’’) and 2
(Section ‘‘A composite hat stiffener subjected to low
velocity impact at the baseplate’’), respectively. To explore
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Fig. 16 Illustration of crack growth pattern and time evolution of cohesive shear force

the compounding effects from the coexistence of the con-
tinuum and discrete damage, a sandwich beam subjected to
a low velocity impact is considered here. The top and
bottom skin thickness of the sandwich beam is 0.7”
(17.78 mm) while the thickness of the middle core layer is
3.5” (88.9 mm). Three (3) elements are used to discretize
both the top and bottom skin layer made of E-glass/vinyl
ester plain weave laminated plate. The material properties
of the skin are the same as those used in Example 1. The
Balsa core layer is discretized into five (5) elements and its
material and strength parameters are listed in Table 6 and
7, respectively.

The length (L), width (W), and height (H) of the sand-
wich beam are given by 100” (2.54 m), 10" (0.254 m), and
4.9” (0.124 m), respectively. The resulting finite element

Table 6 Summary of undamaged Balsa core properties

Laminate-orthotropic material properties VAPAS-prediction

E, (psi) 2.175 x 10*
E, (MPa) 150.0

E, (psi) 2.175 x 10*
E, (MPa) 150.0

E. (psi) 5.801 x 10°
E; (GPa) 40

Vi 0.499

Var 0.333

Vay 0.333

G,, (psi) 7.252 x 10°
Gy(MPa) 50.0

G,. (psi) 2321 x 10*
G.. (MPa) 160.0

G,. (psi) 2.321 x 10*
Gy. (MPa) 160.0

@ Springer

Table 7 Summary of strength parameters of the Balsa Core

Numerical value used in
continuum damage model

Strength parameters

X (ksi/MPa) 1.088/7.501
Xc (ksi/MPa) 0.928/6.398
Y+ (ksi/MPa) 1.088/7.501
Ye (ksi/MPa) 0.928/6.398
Zr (ksi/MPa) 1.958/13.50
Zc (ksi/MPa) 1.842/12.70
Ty (ksi/MPa) 0.435/3.0
Tr (ksi/MPa) 0.435/3.0
T, (ksi/MPa) 0.435/3.0

model has 5,978 nodes and 4,689 elements. As shown in
Fig. 17, the beam is clamped at both end and an impulsive
pressure load is applied at the center of the beam. The time
history of the pressure load P(#) shown in Fig. 18 is
associated with a drop weight impact test with the peak
pressure of 120 psi. In order to simulate the delamination
failure in addition to the continuum damage in the sand-

5978 Nodes
4680 Elements

Fixed End Zones

AN

P(t) (-z direction)

Cohesive Interfac&/

Fig. 17 A FEM Model of a sandwich beam subjected to a drop
weight test
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0 0.0005 0.001 0.0015
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0.002

Fig. 18 Time history of pressure load resulted from a drop weight
impact

wich beam, two cohesive interface layers are introduced
between the top/bottom skin and the core material. The
cohesive material parameters are assumed as the same as
those in Example 2. The developed computational hybrid
tool is used to simulate the response and damage pro-
gression in this three point bending specimen subjected to a
drop weight impact loading.

The damage is initiated via the delamination between
the top skin and core layer at # = 1.23 ms. The delamina-
tion is driven dominantly by Model I and the distribution of
the normal cohesive force before and after the delamination
crack initiation is shown in Fig. 19. As shown in Fig. 19,
the intensified normal cohesive stress (o,,) at the center
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edge of the top skin/core interface gives rise to the edge
crack initiation. To further examine the event of delami-
nation initiation, the time history of ¢, at a failed interface
element is shown in Figure 19. Once o, achieves its crit-
ical value of 1,644.22 psi (see Eq. (24)), a sudden drop in
0., indicates the initiation of a delamination crack. After
the crack initiation at its outside edge, it propagates toward
the center to from a through-the-width crack.

After forming the through-the-width delamination crack
at t = 1.26 ms, the compressive bending stress at the top
skin is released and additional stress will be exerted on the
core resulting in matrix cracking. There is no core damage
before the delamination initiation. Because of the syner-
gistic damage interaction, both the initiation and propaga-
tion of the delamination crack will accelerate the core
damage as shown in Fig. 20. In Fig. 20, two through-
the-thickness core microcracking zones are formed near
both tips of an interface delamination crack. The final
damage pattern resulted from the discrete and continuum
damage interaction is shown in Fig. 21. The delamination
crack between the top skin and the core propagates in both
direction and the final delamination crack is spanned over
four skin element length as shown in Fig. 21. An intensi-
fied microcracking zone directly beneath the delamination
crack is formed in the middle of the core layer. The mi-
crocracking is extended more horizontally in the core along
both the top and bottom skin/core interface resulting in an
H-shaped damage pattern as shown in Fig. 21.
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Fig. 19 Display of delamination initiation and model I cohesive stress distribution before and after the failure initiation
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Fig. 20 Illustration of
accelerated matrix cracking in
core due to the initiation of
delamination
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Conclusions

A hybrid dynamic failure prediction tool has been developed
to capture the synergistic interaction between the continuum
and discrete damage. The tool has been implemented in LS-
DYNAS3D environment via a user-defined material model. A
multi-scale solution framework is formulated to determine
the material response and failure at the structural level from
its constituent, ply, and laminated plate level. A dual-func-
tion micromechanics model (CELLMAT) is developed for
an unbalanced weave subjected to a thermal-mechanical
load. The developed micromechanics model can not only
characterize the effective thermal-mechanical properties of
the unbalanced weave for given constituent damage, but can
also compute the stress and strain at each constituent. The
calculated constituent stress and strain has been used in a
mechanism-driven failure criterion. The integration of the
dual-function micromechanics model with a constituent-
based failure criterion provides an additional window to
reveal the failure mode and failure sequence during a pro-
gressive failure analysis.

To further enhance the computational efficiency, the
CELLMAT solver has been integrated with the VAPAS
laminator. The integration of CELLMAT and VAPAS

@ Springer
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ccelerated Matrix Cracking in Core

provides an efficient and accurate material translator for a
commercial finite element solver in (1) computing the
smeared element properties from a given constituent
damage; and (2) determining the constituent response
parameters for the mechanism-driven failure prediction and
the subsequent material degradation. The physical mapping
established among these different length scales will pro-
vide a rational way to explore an optimal material and
processing procedure for a given design requirement of a
composite ship structure.

To accurately capture the non-self-similar delamination
crack growth, a cohesive interface model has been devel-
oped and linked with the LS-DYNA3D via a user-defined
material model. Because of its continuum damage
mechanics nature, it can be easily integrated with the dif-
fuse in-plane continuum damage model. The resulting
hybrid damage prediction tool can effectively study the
coupling effects between the in-plane and the out-of-plane
failure modes in composite structures, such as composite
joints or sandwich structures.

The applicability and accuracy of the hybrid dynamic
failure prediction have been demonstrated via its applica-
tion to (1) a circular plate subjected to a shock wave
loading; (2) a composite hat stiffener subjected to a low
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Fig. 21 Illustration of discrete
and continuum damage
interaction and the resulting
damage pattern at the final
loading stage
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velocity impact; and (3) a sandwich beam subjected to a
drop weight impact. The time histories of strain data
measured from the circular plate agree well with the con-
stituent based damage prediction. The predicted failure
events associated with the progression of a disbonding
crack also agree well with the experimental observations.
The core damage process accelerated from the interface
crack initiation and propagation is explored via the tool
application to the sandwich beam subjected to a low
velocity impact. With the validated dynamic failure pre-
diction tool coupled with the standardized sub-scale
dynamic tests, a cost-effective certification procedure can
be established for critical composite ship structures
subjected to an aggressive loading environment.
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